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A frequency-dependent impedance controller for an
active-macro/passive-mini robotic system

Nicolas Badeau and Clément Gosselin

Abstract—This paper presents an alternative impedance
controller for a macro-mini robotic system in which the mini
robot is unactuated. The approach is verified experimentally
on a simple two-degree-of-freedom macro-mini robot. The
dynamic analysis of the robot is first presented. Then, a
standard impedance controller is derived and analysed. Such
a controller is shown to be experimentally unstable when
used with the present macro-mini mechanism. An alternative
impedance controller is then proposed and analysed. While
slightly more complex than the standard controller, it provides
a more stable behaviour experimentally. The alternative con-
troller also increases the effectiveness of the control by reducing
the response to high-frequency motion such as hand tremor.

I. INTRODUCTION

Physical human-robot interaction is considered as a means
of allowing robots and humans to communicate safely and
intuitively. This paradigm is applied in several contexts in-
cluding industrial applications, human assistance and medical
robotics. Several approaches have been proposed in the
literature to implement such a physical interaction (see for
instance [1]-[3]).

Among other possible approaches, the active-
macro/passive-mini concept was proposed in previous
work in order to provide an intuitive low-impedance
interaction to the human user [4]-[6]. In this concept,
a low-impedance passive mini robot is mounted on a
high-impedance actuated macro robot. The mini robot
provides the low-impedance interaction with the user and
its displacement is used as an input for the motion of the
active macro robot. This concept was shown to be very
effective for 3-dof and 4-dof tasks in [5], [6]. In [5], a
controller is developed for the macro-mini concept. The
controller is based on impedance control [7]. However, the
standard impedance control approach was modified in this
case in order to account for the particular behaviour of the
passive mini robot.

The design of this controller was inspired from other
impedance and admittance controllers, which include, for ex-
ample, variable impedance terms [8], friction compensation
[9], complementary stability provisions [10], adaptive terms
[11], [12] or robust control concepts [13].

Although a stable and effective controller for a macro-
mini robot was demonstrated in [5], [6], the systematic
study of the control of a macro-mini system remains a
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subject of interest, which may yield novel control approaches
that could further improve the results obtained with such a
kinematic arrangement. In particular, it can be observed that
the controllers proposed so far for the macro-mini concept
do not use a virtual mass linked to the mini mechanism
acceleration. It will be demonstrated in this paper, using
a standard impedance controller, that the virtual mass My,
term of the impedance controller causes instability of the
macro-mini system. An alternative impedance control is
then proposed and compared with the standard impedance
controller.

This paper is structured as follows. Section II describes
the simplified macro-mini mechanism architecture as well
as the experimental set-up. The simplified macro-mini sys-
tem’s dynamics are presented in Section III. The standard
impedance controller is described in Section IV together with
the theoretical stability analysis and the experimental results
obtained. Section V uses the same structure to present the
alternative impedance controller. A brief conclusion is given
in Section VL.

II. EXPERIMENTAL SETUP

The experimental set-up used in this study includes an
actuated one-degree-of-freedom (one-dof) macro component
and an unactuated one-dof mini component. The macro
component consists of a horizontal prismatic joint composed
of a ball screw actuated by a DC motor on which a guided
cart is mounted. The mini component consists of a pendulum
type link mounted on a pivot attached to the cart. The pivot
is connected to a backdrivable motor. This motor is only
used to generate impulses for the experimental analysis:
the current in the motor is always zero at any other given
time and therefore the mini component of the robot can
be considered passive. A photograph of the experimental
setup is shown in Fig. 1. The macro motor is a RDM-103
(series 2008) from Servo Systems, the rail is from Thomson
(model 2HBM100YPHL) and the encoder is a DA15-1000-
SVLD (serie 256, ADC-256D) from Tamagawa. The mini
mechanism motor is a Maxon DC motor with integrated
encoder (model 500267).

III. DYNAMIC ANALYSIS

The two-dof macro-mini system is represented
schematically in Fig. 2. The macro mechanism of mass M
is mounted on a rail and its displacement with respect to a
fixed origin is given by x/(t). The force F(t) is the macro
actuator force applied on the cart. The rotation of the mini
mechanism is measured by angle 6(¢). The mini link length
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Fig. 1: Photograph of the macro-mini simplified mechanism
used for the experimental test.

is noted [ and its mass (considered a point mass) is noted
m. The gravitational acceleration is noted g and the velocity
of mass m is given by @, (t). An external force fj(t) is
applied to the mini mechanism by the user. The torque 7.(t)
represents the possible torque that can be applied by the
motor of the mini mechanism. However, in this paper, this
torque is considered to be zero at any given time (7.(t) = 0).

Fig. 2: Schematic of the active-macro/passive-mini robotic
mechanism.

The dynamic model of the two-dof system is readily
obtained using any general dynamic analysis approach. One
obtains the following equations of motion

F(t) = (M+m)# (t)+mlf(t) cos(0(t))—mlb>(t) sin(6(t))
)

and
mlé(t) = —mgsin(0(t)) — mi s (t) cos(0(t)) + fr(t) (2)

where & /() represents the acceleration of the macro mech-
anism.

Using the small angle approximations {sin(f) =~ 6;
cos(f) ~ 1} and considering the angular velocity to be small
{62(t) ~ 0}, the dynamic model can be simplified to

F(t) = (M +m)in(t)+mil(t) 3)
mib(t) = fu(t)—mgb(t) —min() @
Moreover, using (4), (3) can be rewritten as
M ..
F(t) = fult) =" — (M +m)6(t) — MI(r).  (5)

m
It should be pointed out that friction was neglected in the
analysis because it is difficult to model and since a viscous
term can be included in the impedance model.

IV. STANDARD IMPEDANCE CONTROLLER

The impedance controller aims at linking the input motion
of the mini mechanism to a desired force F(t) to be
applied on the macro mechanism. Here, the input motion
corresponds to the mini mechanism motion {p(t), p(t), p(¢)}
and the output corresponds to the force F'(t). The impedance
controller equation is written as

F(t) = Map(t) + Cap(t) + Kap(t) (6)

where, using the small angle approximation, one has

p(t) =10(t). (7)
The controller equation can then be rewritten as
F(t) = Mglb(t) + Cal0(t) + Kqlo(t). (8)

The input current I (¢) of the DC motor is then obtained
as

™) p
TeM  2WNTkM

In(t) = ©)
where Tps(t) is the motor torque, 74ps is the motor torque
constant, p is the pitch of the ball screw and 7 is the ball
screw efficiency.

With the dynamic model (5) and the standard impedance
controller (8), the system response () caused by an external
perturbation f5(¢) can be theoretically computed using a
Laplace analysis. Equation (5) is first substituted into (8).
Then, solving for the external force f;(¢) and taking the
Laplace transform yields the transfer function

His) = O(s)  m+M 1
~ Fu(s)  (Mg+ M)ml | s2+ 2Cwos + W
(10)
with
Wi = @, 2wy = “u
a9 a9
_(Ka g m
a0_<M+l(1+M)> (11)
C M
a; = Md, as = ﬁd +1

where Fpy(s) and ©(s) are respectively the Laplace trans-

form of f3,(¢) and 0(t). The above transfer function repre-

sents a second-order low-pass filter. From (11), one has
2/ (Mg + M)(Kq+ 4(m+ M))

¢

(12)

Hence, the damping ratio ( is a function of all gains while
the cut-off frequency wq is only a function of the virtual
mass and stiffness.

A critically damped system is targeted, namely ( = 1.
Also, above the cut-off frequency wy, the system response
is decreasing linearly with the perturbation frequency. In
this application, we would like to have the same response

7190



for much of the human bandwidth, hence the angular cut-

off frequency must be higher than the human arm motion

frequency. In order to include a safety margin, the cut-off

frequency is selected as wg = 100 rad/s [6]. The above two
conditions on ¢ and wy yield

Kq+$(m+ M

d l(iz ) - M

0 13

2 (13)

= (Ka+9(m+ M)
wo

My =

Cyq

with the following constraints, which arise from the square
roots

K;>0

KdZng—%(m—kM) 14
where the virtual stiffness K4 is used as the free variable for
the adjustment of the parameters.

Experiments were conducted in order to validate the
theoretical stability analysis presented above. The method
described in [5] was used to experimentally set the controller
gains. In order to reliably generate a repeatable impulse on
the mini mechanism, a torque impulse was sent to the mini-
mechanism motor. The amplitude of the impulse is 2 A and
its duration is 0.1 s. Some experimental results are shown
in Fig. 3. From this figure, an appropriate domain for the
virtual stiffness K4 seems to be around [1000, 2000].

T
—K; =100
— Ky =250 |
Ky = 500
— K, = 1000
— Ky = 2000

K, = 5000

Y |

[rad]

A
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Macro Response z(t)
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Fig. 3: Experimental response for different virtual stiffness
K4 values. {My =Cy; =0}

Based on the experiments performed, it was observed
that the virtual damping Cy should be chosen within the
range [400; 800] which corresponds to a theoretical damping

ratio between ¢ = 5.125 and ¢( = 10.25, representing an
over-damped system. A comparison of the experimental and
simulated response in this case (with the gains selected
as My = 0, Cy = 400, K4 = 1000 shows that the
simulated response corresponds to an over-damped system
while the experimental response corresponds to an under-
damped response (see Fig. 4).

The relationship between the virtual mass My and the
damping ratio can easily be seen in (12). An increase in
the virtual mass My reduces the damping ratio (. For a
specific value of the mass — in this particular case My =
35.37 kg — the system shall become critically damped.
In the experiments, however, the system becomes unstable
as soon as the virtual mass is non-zero. Fig. 4 shows the
experimental response for My =0, My = 0.5 and My = 1.
The discrepancy between the theoretical and experimental

M=1 |4

VA

0 05 1 15 2 25 3
Time [5]

—M;=0
—M; =05

°
@

°

Mini Response (1) [rad]
5
5

Fig. 4: Experimental response for different virtual mass M,
values. { Ky = 1000, Cyq = 400}

response can be explained by several factors including noise
in the measured signals, inaccurate parameters of the model
and friction forces. In theory, a controller with only a
stiffness gain Kz should not be stable. However experiments
showed the response to be underdamped due to unmodeled
friction at the mini mechanism joint (see Fig. 3).

Another difference is the response obtained when using a
non-zero virtual mass M. In theory, the virtual mass M, can
be tuned in order to obtain a quicker response (i.e. reducing
the damping ratio). However, the adjustment of this gain
should be done carefully since it can make the controller
underdamped.

With regards to the experimental results obtained with a
non-zero virtual mass My, it can be observed that another
option to obtain a lower damping ratio (i.e. faster response) is
to increase the virtual stiffness K ;. On the other hand, only
using a higher virtual stiffness (K4 > 1000) with the same
damping ratio (Cy = 400) makes the system too sensitive
to small position variation. For motion with large amplitude,
the controller provides quick and rough response. However,
the controller is too sensitive for fine and precise motion.

V. FREQUENCY-DEPENDENT STIFFNESS CONTROLLER

As described in the preceding section, using a nonzero
virtual mass My in the impedance controller generates in-
stability because of the small interaction of the passive mini
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mechanism and the noise level in the mini acceleration signal
P(t). A controller using the virtual damping and stiffness
term provides stable control but lacks responsiveness, mostly
for fine and precise motion.

Increasing the inertia of the mini mechanism could be an
option to improve fine motion as it would filter the high-
frequency motion of the operator. However this would mean
that the operator will fatigue faster when using the system
for longer periods.

Another means of emulating a small inertia in the con-
troller is proposed here. It is shown in [14] that a delay in the
admittance control generates an increase in perceived inertia
by the user. While a too long delay makes the admittance
controller impractical, a small delay in the controller could
induce just enough virtual inertia to make the control effec-
tive. The same principle could be applied for an impedance
controller.

It is proposed here to add a small delay on the position
control term p(t) by adding a virtual stiffness term Ky that is
linked to a low-pass filtered version of p(t). This means that
the control will be more sensitive to low frequency motion,
effectively reducing the system’s response to high frequency
motion such as trembling of the hand for fine motion. The
cut-off frequency of the low-pass filter is chosen to render
the control responsive in the human-arm bandwidth and
reduce response to higher frequency motion like oscillations
caused by human tremor. Hence the control shall be effective
not only for large and imprecise motion but also for fine
manipulation.

A. Controller Description

The controller presented here is based on the controller
used in [6], except that the output is a force F'(t) instead of a
desired velocity @ (t). The force output F'(t) is transformed
into a torque 7y (t) using the right-hand side of (9) before
being sent to the macro mechanism. The controller equation
is shown below.

F(t) = Cap(t) + Kap(t) + Kypy(t) 5)

Herein, p(t) represents the position of the mini mechanism
along the z-axis and the term py(t) represents a low-
pass filtered version of this position p(t). The term Ky is
also representing a virtual stiffness. Again, (15) can easily
be converted into the same form as (8) using the same
angle approximation. This yields the following final control
equation.

F(t) = 1C40(t) 4+ IK0(t) + LK 04 (t) (16)

The virtual stiffness terms Ky and K are used together
because a response to high frequency motion is still desired.
Only using the K; term would completely eliminate the
response to any motion above the cut-off frequency.

B. System Response

The stability of the alternative controller can be studied by
substituting (5) into the controller equation (16) and taking

the Laplace transform, which yields

m

Fu(s) = M+m

Kdl®(8) + Cdls@(s) + Kfl@f(s)

+ (M +m)gO(s) + Mis*O(s) (17)

The low-pass filtered © f(s) can easily be related to ©(s) in
the Laplace domain via the low-pass filter transfer function
where w, represents the low-pass cutoff angular frequency,

namely
We

] = O(s). 18
£(s) P (s) (18)
Substituting (18) into (17) then yields
O(s) [M+m s+ bg (19)
Fg(s) | mMI | azs® + azs2 + ais + ag
with
bO = We
_ [~ 9 m
a0—< (Kd+Kf>+l(1+M)>wc
_ 1 9(1Lm (20)
ay = M<Kd+cdwc) + l(1+ M)
ag = We + g
2 = We M
az = 1

C. Stability Analysis

While the standard impedance controller was easily ana-
lyzed using the damping ratio ¢ and angular cutoff frequency
wop, the above system is more complex and such parameters
cannot be used. Instead, the poles of the system defined from
the roots of the denominator (a3s® + ags® + a1s + ag) are
used to predict the system response. Since the denominator
is a cubic polynomial function, the roots, s;, are found using
the following equations.

A = 18azasaiag — 4a§a0 + a%a? - 4a3a? — 27a§a(2)
AQ = (l% - 3(13(11

Ay = 243 — 9azaza; + 27a3a0

oo i/A1 +/—27a2A
2

1 Ag
3130/3<a2+0+0>

The cubic discriminant A can be used to determine the
nature of the system’s response. Indeed, when A > 0,
the polynomial has 3 distinct real roots, hence the system
is over-damped. When the discriminant A < 0, then the
polynomial has one real root and two complex conjugate
roots, which means that the system is under-damped and will
therefore oscillate around the equilibrium position. When the
discriminant is equal to zero (A = 0), then the polynomial’s
roots are all real and there is a multiple root. This case

2
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represents the critically damped system. For stability, all
roots must have a negative real part.

Similarly to the case of the standard impedance controller,
the objective is to be able to define one of the gains as a free
variable that is used to compute the remaining gains in order
to get a critically damped system. While a critically damped
system is theoretically possible, in practice an over-damped
system is better suited to reduce the probability of obtaining
unstable behaviours.

1) Critically Damped System {A = 0,Aq = 0}: For a
critically damped system, the real roots must be identical
(multiple root). This happens only when the two following
conditions are met:

A=0,and Ag =0 (22)

In that case, the multiple real root is defined by the following

expression
a9 o _Gﬁ
3&3 3
The system is stable if and only if the multiple root has a
real negative value. Hence the following condition is found

(23)

S; =

az >0 (24)

which corresponds to

Cd > —wCM. (25)

Since both constants { M, w.} have a positive value, the final
condition is

Cy > 0. (26)

Since a condition is defined for Cy, this gain will be used as a
free variable to compute the remaining two gains { Ky, Kr}.
A relation between K4 and Cj is found using the condition
Ag = 0, which yields
&

7 — Cywe + w2 M — 379(M+m)

_ 1

Ka=3 27)

An expression to obtain the gain Ky from Cy is found using
the condition A = 0.

Ko [—8@1\43 + O3 +12C w2 M? — 6C2w .M
f

o7 M?2w,
8)
2) Over-damped System {A = 0,A, # 0}: For the
current system to be over-damped, all its poles must have
real negative values, and more than one root is needed. This
means that the cubic function discriminant must again meet
the condition (A > 0). For the sake of simplicity, we will
use the condition A = 0. In order to have more than one
pole — difference with the critically damped system — the
condition on Ay becomes Ay # 0.

Ag %0
A():a%—gal 750
a3 # 3ay

(29)

Using this first condition, the following expression for K
is obtained

Cc? 3
-4 Cywe +w?M — Tg(

i M +m)

1
Ky # 3 (30)
Now, looking at the poles s; and sy of the system, we have
the following conditions for a stable system.

9an —
5 = 20— @2
270
3 31
4asa; — 9ag — ay <0
S9 =
A

For the critically damped system, the evaluation of the
single root was simple as it provides the stability limits of
Cjy. For the over-damped case, the problem is ill-posed since
we have two inequalities with three variables {K4,Cq,Kr}.
Expressions for K4 and K as functions of Cy — such as
the expression found for the critically damped system —
cannot be obtained here. However, the provided conditions
can be used to verify that the gains {K4,Cy, Ky } are in
the stable region. The complete expressions from eq. 31 are
readily obtained but are not included here because of space
limitation.

3) Methodology: Even though no analytical solution was
obtained to correctly set the gains to get an over-damped sys-
tem, a methodology is proposed here that uses the relations
obtained for the critically damped system. It is hypothesized
here that an over-damped behaviour can be reached from a
critically damped system by slightly modifying its gains. The
same conditions are used to ensure stability. The first step
is to set a strictly positive (non-zero) virtual damping value
Cq4. Then we get an expression for Ky using (27), but the
virtual damping Cj; is instead replaced with vCy, where ~y
is a real coefficient, yielding

2
Kq = % [(W]\C;) — YCaqwe + w2M — ?(M +m)| (32)

The condition A = 0 is then used to get an expression for
the remaining term K¢, which gives

1
© 2TM?2w,
— 3w MC2y 4 3w MC? — 6w M~2C2 — 2C3

+392C3 42/~ Ciy — D3(Cuy + Ca — wel)?]
(33)

If v = 1, then (32) and (33) become respectively (27) and
(28). The system would then be critically damped. Now only
the coefficient v needs to be defined in order to get an over-
damped system. We therefore need to define a domain within
which v provides real negative roots. The roots (31) are
readily obtained as a function of « but the expressions are
not given here because of space limitation.

Starting with the over-damped system condition, i.e., that
the roots be real (not complex conjugates) simplifies the
above mentioned conditions to

—C3(v—1)3(Cay + Cy —weM)® > 0

K¢ [—8w? M® 4 6w? M2Cy + 6w2M>~Cy

(34)
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By definition, C'3 > 0, hence the previous inequality is true
if and only if

sign[(y — 1)*)] # sign[(Cay + Ca — weM)?]
From the left-hand side of (35), one has

(35)

(y—1)> <0 when v < 1

36
(y—1)> >0 when v > 1 (36)

and from the right-hand side, one has

weM
Ca
weM

Cq

Hence, the roots {si,s2} and the term K are real for the
following domain of ~:

CM . CM
@ —-1l<y< 1]1f<w <2>

weM o weM
[1<7< c, —1] 1f< o >2>
Equation (38) provides a bounded domain within which the
roots are real and where the solution might be an over-
damped system. It is proposed to start from v = 1 and either
slowly increase (or decrease) its value.

While it does not give a proven y domain for which the
system is over-damped, it proposes a bounded trial-and-error
method with a clear starting point (v = 1) which comes
from physical insight (i.e. critically damped system). The
methodology can be stated as follows:

-1

(Cqy + Cq — w.M)? < 0 when vy <
(37)
—1.

(Cay+Cy — wCM)?’ > 0 when v >

(38)

1) Select a strictly positive real virtual damping value
Cy>0.

2) Compute the boundary for v using (38).

3) Starting from y = 1, either increase of decrease y de-
pending on its previously computed domain. Compute
the roots {x1,z2} and verify that they are negative.

4) Compute the gains K, and Ky using (32) and (33)
respectively.

5) Compute the system response 0(t) using (19). If the
response is satisfactory (sufficiently over damped),
then select the computed gains {Cy, K4, K}

4) Example: The current example uses the experimental
parameters of the set-up described in Section II. The virtual
damping is selected to be Cy = 400 kg/s and the frequency
we = 100 rad/s. The boundaries of  are initially computed
using ( 38).

M

Wl 035 (39)
d

—0.65 <y <1 (40)

Fig. 5 shows the simulated response for several values
of ~ in this range. The relation between v and the type of
response is observed. First, it is noted that the responses
obtained when using the boundary values of the coefficient

(in this case v = —0.65 and v = 1) are identical, i.e. a
critically damped response.

The response obtained at the centre of the coefficient
domain (y = 0.175) is the most damped. As the value of the
coefficient gets closer to one of the boundaries, the response
obtained gets closer to the critically damped response. The
system response was also computed for v = 1.5, which
is outside the damped boundary. For this value of ~, the
response is indeed underdamped.

%10

— =065
3L —y=-0.2375

5 =0.175
- y=05875 ||
ceq=10
—y=15

o
T

Mini Angular Response 0(t)
.

°
&

o

05

0 0.05 0‘1 Time [b] 0‘15 0‘2 0.25
Fig. 5: Simulated response of the system for different values
of ~ using the proposed methodology for an over-damped
system gain sets.

D. Experimental Stability Analysis

As already explained in Section IV, the discrepancies
between the theoretical model and the experimental setup
force us to use an empirical methodology to set stable
gains. When the virtual stiffness Ky is equal to zero, the
system reverts back to the standard impedance controller
with a zero virtual mass (My; = 0). Therefore, the same
value of virtual stiffness (K4 = 1000) and virtual damping
(Cy = 400) previously found can be used safely again, only
the virtual stiffness Ky needs to be determined. As stated
before, increasing the response in position — by adding
the term K in the controller — should reduce the original
damping ratio of the standard impedance.

The same gain values used for the standard impedance
controller were tried here for the new frequency-dependent
stiffness gain K¢. The results obtained are shown in Fig. 6.
Compared with the virtual mass My term of the standard
impedance controller, the new virtual stiffness term Ky
provides a stable response to external perturbations.

The system responses retain the same form for any value
of Ky that was tested. Increasing the new virtual stiffness
K provides a slightly faster response to perturbation. From
Fig. 6, the best response could subjectively be selected
to be Ky = 500 since it provides a quicker response
without increasing the oscillation significantly. Using the
combination of virtual stiffness {Ky = 1000, Ky = 500}
means that manipulation with a motion frequency below w,
should have a 50% higher response than for higher frequency
motion.

While this is not apparent on the graphs, the system
response feels more intuitive with the new virtual stiffness
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term K ;. The system is more responsive to standard motion
amplitude and frequency while effectively reducing the high
frequency motion such as hand trembling.

0.7 T T T T T T T T T
—K; =0

08 3 —K; =100 |

sk Ky =250 ||
—K; =500

04l — K, =1000] |
K = 2000

I
03F f

Mini Response f(t) [rad]

Time [5]

Fig. 6: Experimental response for different values of
frequency-dependent virtual stiffness K. {Ky; = 1000,
Cy = 400}

E. Discussion

An alternative impedance controller was presented here for
an active-macro/passive-mini robotic system in order to solve
the instability problem of the standard impedance control
when using a non-zero virtual mass M. The new controller
uses an additional stiffness term that is linked to a filtered
(low-pass) position signal p(t). The proposed alternative
controller provides a quick and stable response, both for
large amplitude and precise motions. Experimental results
showed that stability is not an issue, even for high values of
stiffness. The theoretical analysis was more complex than for
the standard impedance controller since the transfer function
of the system has an additional pole. In other words, the
system is no longer a classical second-order low-pass filter
and hence cannot be analyzed solely using a damping ratio ¢
and a cutoff frequency wp. A methodology was nevertheless
provided in order to safely go from a critically damped
system to an over-damped system, using a mathematical
analysis of the transfer function. It could be argued that
only the filtered virtual stiffness K could be used (with the
virtual damping Cy). However the original virtual stiffness
K, gain provides a baseline response in position for both
low and high-frequency motion. This baseline gain yields an
effective control.

VI. CONCLUSION

In this paper, two different impedance controllers were
presented. Each of the controllers was theoretically and
experimentally analysed. The first controller consists of the
standard impedance control firstly described in [7], consist-
ing of a virtual mass My, damping C; and stiffness K 4. The
stability of the system in response to a unit-impulse force
fn(t) was presented. Comparison between the theoretical
and experimental responses showed discrepancies between
the experimental setup and the model. Stable responses were
obtained when using the terms Cy and K ;. However, the use

of a nonzero virtual mass M, causes the system to become
unstable. In order to address the stability issue related to
the virtual mass My of the standard impedance controller,
this term was replaced by another virtual stiffness term K
which is linked to a low-pass version of the position of the
mini mechanism 6;(t). Using the low-pass term K 0¢(t)
generates a small delay in the stiffness term that is felt by the
user as a simulated inertia. The theoretical stability of such a
controller was presented. An analytical expression to obtain a
critically damped system was found and a methodology was
proposed to safely go from a critically damped system to
an over-damped system. Experimental results demonstrated
that the replacement of the term M,6(t) by K6 (t) solves
the instability problem and helps to reduce high-frequency
motion such as hand tremor. This additional virtual inertia
helps for fine and precise motion that is affected by the
human tremor. The approach can be extended to systems
with mutiple degrees of freedom, even though it may not be
possible to obtain analytical expressions in such cases.
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